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Abstract

This paper presents an impedance-based interaction and stability analysis of multi-terminal HVDC systems. First, an
analytical derivation procedure is presented to obtain the feedback impedance models of a voltage source converter (VSC)
as a subsystem, with particular interest on the DC side impedance. Subsequently, in addition to the impedance models
of other subsystems, an impedance aggregation method is applied to derive the dynamic closed-loop impedance matrix
of the system considering the interconnected structure of the grid. Given the closed-loop impedance matrix, multi-
input multi-output (MIMO) relative gain array (RGA) formulation is proposed to analyse nodal interactions between
converters and the network. Furthermore, the impedance ratio matrix is proposed for HVDC stability analysis based on
impedance models. Remarkably, these formulations are derived compactly without any knowledge of the internal states
of any converter and therefore allows the ease of interoperability analysis. Finally, the impact of control architecture
and strategy on the dynamic responses, interaction, and stability analysis from an impedance perspective is conducted
as a case study. The analysis is done in the frequency domain and validated with the physical model of a three-terminal
DC test grid built in SimscapeTM MATLAB/Simulink R©.

Keywords: Dynamic modelling, Impedance-based analysis, HVDC Transmission, Voltage-source converters,
multi-terminal HVDC, MIMO Analysis

1. Introduction

The last decade has witnessed an unprecedented in-
crease in the integration of new technologies and re-
newable energy sources (RESs) buoyed by power elec-
tronics [1]. The state-of-art of voltage source convert-
ers (VSCs) for high voltage DC (HVDC) applications
has expedited the potentials for forming large-scale multi-
terminal DC (MTDC) grids [2, 3]. Such interconnection
of tightly controlled active devices is expected to give rise
to new interactions [4].

In recent years, to solve the challenges brought about
by the integration of solid-state devices into the power sys-
tems, the research community has been applying several
methods from varying perspectives and tools for dynamic
modelling and analysis. The well-established method of
state-space modal analysis has been applied by numer-
ous authors to large-scale HVDC grids to establish global
stability [5–8]. However, in a large-scale MTDC grid, it
may become important to isolate the physical behaviour
at each network interface (on either of AC or DC sides)
and their contribution to the overall dynamic behaviour,
rather than the global collective behaviour [9]. Likewise,
it is well known in literature that state-space approach do
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not support independent design of control and analysis of
interoperability of independent designs. Moreover, state-
space methods require a separation of local and interaction
modes as acknowledged in [7] and challenge in separating
the AC and DC sides without loss of shared dynamics.
Thus, modelling frameworks that allows to isolate physi-
cal behaviour with respect to any interface are required to
analyse, detect, and enhance overall system performance
in the presence of these devices.

An emerging method gaining considerable attention
in recent times is the impedance-based modelling frame-
work [10–12]. The impedance framework is a promising
tool to represent the dynamics of power electronic devices
in an intuitive manner. Indeed, a considerable amount
of literature has grown up around the topic of impedance
framework considering VSCs [13, 14]. The predominance
of this framework lies in impedance being the most funda-
mental property of the physical power system. Outstand-
ingly, through the impedance framework, a VSC can be
represented distinctly on each of AC and DC sides, while
including the shared dynamics between both sides and iso-
lating the most important transfer functions.

Several authors have applied this methodology to the
understanding of sources of resonances with emphasis at
the device level [15], including the impact of the phase-
locked loop (PLL) device on overall response seen from
an impedance perspective [13, 16, 17]. However, device
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level analysis often neglects any network dynamics or cou-
pling effect with other devices. The concept of impedance
modelling has been extensively applied to the analysis
of AC side dynamics considering different control strate-
gies [18–20] and comparison between several impedance
frameworks [21, 22]. However, in many of the studies with
AC side as the focus, the impact of an interconnected DC
side is often neglected. In [23, 24], authors duly extended
the modelling methodology to resonance analysis of the
DC side of a complete point-to-point HVDC link with the
aim of highlighting the impacts of AC grid impedance on
DC side. However, in derivations it was assumed that ei-
ther converter is in one of rectification or inversion, thus
reducing the applicability to varying operating modes at
each converter typical of a meshed HVDC networks. Ad-
ditionally, interactions in point-to-point links are not as
prevalent as there is no topology effects and interactions
mainly depend on cable distances as acknowledged in [25].
The input admittance of the DC impedance of a multilevel
modular converter (MMC) as a device was derived in [26]
but analysis was not extended to network-level behaviour.
In general, the manner in which impedance models are
derived obscures the inherent simplicity of the impedance
framework and the corresponding insights it provides.

In this regard, existing impedance-based modelling of
VSCs as applied in literature is not sufficiently generic nor
modular to allow ease of applicability with various multi-
converter system-level studies especially on the DC side.
It is worth noting that impedance models have not been
widely used to study meshed VSC-HVDC networks for
system-level interaction analysis especially in a potential
multi-vendor set up with possibility to design of high-level
global controllers. Moreover, it is rarely analyzed how sta-
bility and interactions analysis can be tractably scaled up
to an arbitrary number of terminals in the network while
maintaining modularity.

In this article, a concise and modular approach is
presented to derive the impedance models of a VSC at
converter-level considering several local control strate-
gies. Subsequently, while maintaining modularity, the
impedance model is extended to network level on the DC
side considering an arbitrary number of interconnected
converters. Therefore, a concurrent analytical derivation
of the impedance models of the AC and DC sides of a
VSC is presented in a manner that decouples both sides,
while isolating the transfer functions that predict inter-
actions between them. Finally, derivations are applied to
system-level dynamic study of a meshed VSC-HVDC grid,
emphasizing the coupled external dynamics of the network
as seen from each terminal rather than specific states re-
lated to internal variables of any converter, and the global
impacts of interconnection and control on interactions.

Figure 1: Simplified single-line diagram of a generic VSC- MTDC

2. Input-Output dq-Impedance Modelling of Sub-
systems

Fig. 1 illustrates the layout of a generic multi-terminal
HVDC grid. The grid can interconnect any number of
active devices including converters in any configuration.
In this article, each active device is modelled as a sub-
system considering the different possible control strategies
that could be applied at the converter level, with possi-
bility to switch between alternatives. A phase-locked loop
(PLL) device is employed to introduce the synchronous
reference frame (SRF). In this section, the input-output
models of the converter on both sides are sequentially de-
rived. The typical control structure of a VSC for HVDC
applications is the cascaded structure illustrated in Fig.
2. In order to emphasize the modularity of the derived
impedance structures of the VSC, derivations in the fol-
lowing sections assumes the converter is not connected to
a network. However, interconnection with the grid is made
in subsequent sections.

2.1. dq-Modelling of current controlled converter

All VSCs in the grid are equipped with an AC current
control scheme of the same structure for simplicity [7].
The dynamic open-loop equation of the AC side filter in
the synchronous dq-frame is expressed as

L
didc
dt

= udf − udc −Ridc − ωLiqc

L
diqc
dt

= uqf − u
q
c −Riqc + ωLidc

(1)

where idc , i
q
c are the AC currents flowing from the filter bus

to the converter, udf , u
q
f , and udc , u

q
c are the voltages (to

neutral) at the filter bus and converter terminals respec-
tively, all in grid reference frame. R, L are the AC filter
resistance and inductance respectively, and ω is the grid
angular frequency. The converter AC output voltage in
converter reference frame can be expressed as

udcc = −Kc(s)(i
d∗
c − idcc )− ωLiqcc + F (s)udcf

uqcc = −Kc(s)(i
q∗
c − iqcc ) + ωLidcc + F (s)uqcf

(2)
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Figure 2: Simplified single-line diagram of VSC terminal circuit and control

where (∗) variables are reference values, (c) variables are
in converter reference frame, Kc(s) is the AC current
proportional-integral (PI) compensator, F (s) is a low pass
feed-forward filter of the filter bus voltage. To include the
impacts of inner-current controller on the physical sys-
tem, converter AC voltages can be eliminated from (1).
However, equations (1) and (2) are on different reference
frames. Hence, the PLL device through Park’s transfor-
mation is required to transform from one frame to the
other and vice versa. The form of Park adopted can be
found in AppendixA and the transformations between grid
and converter frame for variables of interest given the PLL
output angle can be obtained as

udqcf = udqf e
−jθp ; udqc = udqcc ejθp ; idqcc = idqc e

−jθp (3)

where θp is the output of the PLL given as

θp = −
Kpll(s)u

qc
f

s
(4)

where Kpll(s) is the PLL compensator and uqcf can be ob-

tained from the expansion of udqcf in (3) given as

uqcf = uqf cos(θp)− udf sin(θp) (5)

Due to the inclusion of the nonlinear PLL output an-
gle, all expressions in (3) must be linearized around an

operating point resulting in the transformations

∆udqcf = Tdqc
(
∆udf ∆uqf ∆θp

)T
∆idqcc = Tdqc

(
∆idc ∆iqc ∆θp

)T
∆udqc = Tdq

(
∆udcc ∆uqcc ∆θp

)T (6)

where the transformation and inverse transformation ma-
trices Tdqc and Tdq respectively are outlined in Ap-
pendixA. Similarly, ∆θp can be obtained by substituting
(5) into (4) and linearizing to obtain

∆θp =
(
Hdθ(s) Hqθ(s)

) (
∆udf ∆uqf

)T
(7)

Hdθ(s) =
Kpll(s) sin(θ0

p)

s−Kpll(s)(ud0
f cos(θ0

p) + uq0f sin(θ0
p))

Hqθ(s) =
−Kpll(s) cos(θ0

p)

s−Kpll(s)(ud0
f cos(θ0

p) + uq0f sin(θ0
p))

where Hdθ(s) and Hqθ(s) determine the impacts of PLL
dynamics on the system and all (0) variables are corre-
sponding operating points. To eliminate converter AC
voltages in grid reference frame from (1), all transforma-
tions in (6) are applied to the corresponding variables in
the linearized version of (2), and the results substituted
into the linearized form of (1) in Laplace domain. Fol-
lowing straightforward manipulations, the converter AC
currents can be compactly written as

∆idqc = Hi
cl(s)i

dq∗
c + Yac(s)∆udqf (8)
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Yac(s) =

(
ydd(s) ydq(s)
yqd(s) yqq(s)

)
where Hi

cl(s) is the closed-loop reference to output trans-
fer matrix of the inner-loop, Yac(s) is the input-output
admittance with impact of inner-loop and PLL. The ex-
pansions of Yac(s) and Hi

cl(s) are detailed in AppendixB.

2.2. Constant AC and DC Voltage Controlled VSC

For a combination of constant AC and DC voltage con-
trolled converter as shown in Fig. 2, the DC voltage con-
troller is implemented on the d -axis with PI compensator
Kv(s) and AC voltage controller on the q-axis with PI
compensator Ku(s). In a sequential manner and starting
with the DC side of the VSC, the DC voltage open-loop
dynamic equation can be expressed as

Ci
dVi
dt

= Idci + Ii (9)

where Ci is the equivalent DC capacitance, Vi is the ter-
minal DC voltage of the ith VSC, Idci is the DC current
injection from power balance with AC side, and Ii is the
current flowing into the VSC from the DC network. The
AC current reference on the d-axis id∗c can be calculated
from the reference DC current injection I∗dci obtained from
the output of DC voltage compensator. Thus, the DC ref-
erence current injection can be derived as

I∗dci = Kv(s)(V
∗
i − Vi) + Ii (10)

where Ii is the feed-forward current. Assuming a lossless
converter such that, Pac = Pdc, then

Pac = <{udqf · i
dq(∗)
c } =

1

k
(udf i

d
c + uqf i

q
c), Pdc = IdciVi

(11)

where i
dq(∗)
c is the complex conjugate of idqc , and k = 2/3.

The introduction of the nonlinear power variable requires
that (11) must be linearized around the operating point;
with uq0f = 0 then

Pac = P 0 + ∆Pac = P 0 +
1

k
(ud0
f ∆idc + id0

c ∆udf + iq0c ∆uqf︸ ︷︷ ︸
∆Pac

)

Pdc = P 0 + ∆Pdc = P 0 + V 0
i ∆Idci + I0

dci∆Vi︸ ︷︷ ︸
∆Pdc

(12)
where (0) terms are linearization points. The reference AC
current command can be calculated from reference active
power transferred from DC side following

id∗c = k
P ∗

udf
. (13)

Similarly, linearizing (13) and noting that P ∗ = I∗dciV
∗
i

and substituting the expression for ∆P ∗ = V 0
i ∆I∗dci (with

reference DC voltage constant) from the DC side to obtain

∆id∗c = k
ud0
f V

0
i ∆I∗dci − P 0∆udf

(ud0
f )2

. (14)

Linearizing (10) around the established operating
points, and substituting the result for ∆I∗dci into (14), the
linearized AC reference current is derived as

∆id∗c = −kV
0
i Kv(s)

ud0
f

∆Vi − k
P 0

(ud0
f )2

∆udf (15)

the above shows the impact of disturbances to the DC
and AC voltages on the reference AC current (d -axis). To
close the AC current loop with DC voltage compensator,
the corresponding expression in (8) is linearized and (15)
is substituted into the resulting expression to compactly
obtain

∆idc = yd(s)∆u
d
f − ydc(s)∆Vi (16)

yd(s) = ydd(s)− k
Hi
cl(s)P

0

(ud0
f )2

, ydc(s) = k
Hi
cl(s)Kv(s)V

0
i

ud0
f

where yd(s) is a d -axis auxiliary admittance that describe
the impact of AC voltage disturbances on the d-axis on
converter AC current and likewise ydc(s) predicts the im-
pact of open-loop control of DC voltage on AC current on
similar axis in the absence of any other disturbances. Sub-
sequently, the DC voltage loop can be closed by linearizing
(9) in Laplace domain to obtain

∆Vi =
∆Idci + ∆Ii

sCi
(17)

equating the linearized AC and DC sides power in (12)
and isolating ∆Idci results to

∆Idci =
ud0
f ∆idc + id0

c ∆udf + iq0c ∆uqf − kI0
dci∆Vi

kV 0
i

(18)

next, (16) is inserted into (18) and the resulting expression
is substituted into (17). ∆Vi can be isolated compactly as

∆Vi = Hdd(s)∆u
d
f +Hqq(s)∆u

q
f + zoci(s)∆Ii (19)

Hdd(s) =
ud0
f yd(s) + id0

c

skCiV 0
i + ud0

f ydc(s) + kI0
dci

Hqq(s) =
ud0
f ydq(s) + iq0c

skCiV 0
i + ud0

f ydc(s) + kI0
dci

zoci(s) =
kV 0

i

k(sCiV 0
i + I0

dci) + ud0
f ydc(s)

where zoci(s) is the equivalent DC side feedback
impedance, Hdd(s) and Hqq(s) are auxiliary transfer gains
that depict the impact of AC voltage disturbances on the
DC voltage and vice-versa. They indicate the interaction
between the AC and DC terminal voltages. For DC side
studies, zoci(s) is the most important transfer function
that describe the behaviour of local DC voltage to bus
disturbances without an adjoining network or any other
active device. To include the impact of closed-loop DC
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voltage control on the inner-loop, ∆Vi is eliminated from
(16) by substituting (19) and in compact form to obtain

∆idc = Ydd(s)∆ufd − Ydq(s)∆ufq −Hdci(s)∆Ii (20)

Ydd(s) = yd(s)− ydc(s)Hdd(s), Ydq(s) = ydc(s)Hqq(s)

Hdci(s) = ydc(s)zoci(s)

where Ydd(s) is the AC side feedback admittance on the
d-axis, Ydq(s) is the coupling feedback admittance between
the d and q-axes.

To include the dynamics of the AC voltage PI compen-
sator Ku(s), the reference current on the q-axis of inner-
loop can be obtained as

∆iq∗c = Ku(s)(U∗
f − Uf ) + iqc (21)

where Uf and U∗
f are the measured and reference

magnitude AC voltages respectively. Given Uf =√
(udf )2 + (uqf )2, Uf can be linearized as

∆Uf =
ud0
f

U0
f

∆udf +
uq0f
U0
f

∆uqf (22)

since uq0f ≈ 0

∆Uf =
ud0
f

U0
f

∆udf = ∆udf (23)

linearizing (21) and inserting (23)

∆iq∗c = −Ku(s)∆udf (24)

and subsequently, substituting (24) into the corresponding
linearized form from (8)

∆iqc = −Hi
cl(s)Ku(s)∆udf + yqq(s)∆u

q
f (25)

which can be written compactly as

∆iqc = −Yqd(s)∆udf + Yqq(s)∆u
q
f (26)

where Yqq(s) = yqq(s). Combining (19), (20), and (26) in
compact matrix form, the impedance/admittance model of
the AC and DC voltage controlled VSC can be generalized
in matrix form as∆idc

∆iqc
∆Vi

 =

 Ydd(s) −Ydq(s)
−Yqd(s) Yqq(s)

−Hd
dci(s)

0(s)

Hdd(s) Hqq(s) zoci(s)


∆udf

∆uqf
∆Ii


(27)

where the sub-matrices on the leading diagonal are the
feedback impedance models of the VSC on AC (Y(s))
and DC sides respectively; whereas, the off-diagonal sub-
matrices are the interaction gains between the AC and DC
currents, and between the filter bus and DC voltages re-
spectively. It is important to note that, if the AC voltage
variations are negligible (i.e. a stiff grid), the top-left, and

+
+

+
+
+ -

-
+

+

-

Figure 3: Equivalent block diagram of the impedance model of a
VSC

+
-

Figure 4: Generic equivalent terminal impedance circuit

bottom-left sub-matrices can be neglected, whereas Hd
dc,i

is the steady-state relationship between AC and DC cur-
rents. However, for low SCR grids, the matrix is an indica-
tion of a strong interaction between variables of both the
AC and the DC terminals of the VSC and the frequency
response of all elements must be checked. Equations (19),
(20), and (26) suggests the equivalent block diagram shown
in Fig. 3 and Fig. 4 illustrates the system-level circuit
overview.

2.3. AC Voltage and DC Droop/Active Power Controlled
VSC

For any converter equipped with droop control or con-
stant power (by setting droop gain to zero) as an alterna-
tive strategy to the constant DC voltage controlled con-
verter with the widely proposed standard configuration
depicted in Fig. 2, the total reference power command
of such converter can be expressed as

P ∗
tot,i = P ∗

sch,i + ∆P ∗
i (28)

where Psch,i is the scheduled power flow, and P ∗
tot,i is the

total power reference, and the balancing term ∆P ∗
i is ob-

tained as
∆P ∗

i = Rdci(V
∗
i − Vi) (29)

where Rdci is the droop gain of the ith converter equipped
with droop control. P ∗

tot,i in (28) is passed on to the inner-
loop d-axis reference where

id∗c = Kp(s)(P
∗
tot,i − Pi) (30)
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where Kp(s) is the PI compensator of active power. Lin-
earizing (29) and substituting into the linearized expres-
sion of (28), noting that ∆P ∗

sch,i and ∆V ∗
i variables are

constants
∆P ∗

tot,i = ∆P ∗
i = −Rdci∆Vi (31)

similarly, linearizing (30), and substituting (31) and ∆Pac
from (12) for ∆P ∗

tot,i and ∆Pi respectively

∆id∗c = −Kp(s)

(
Rdc∆Vi +

ud0
f ∆idc + id0

c ∆udf + iq0c ∆uqf
k

)
(32)

substituting (32) into the corresponding linearized form of
(8), ∆idc for a droop and constant power controller can be
written compactly as

∆idc = ydpd (s)∆udf − ydpq (s)∆uqf − y
dp
dc (s)∆Vi (33)

ydpd (s) =
kydd(s)−Kp(s)H

i
cl(s)i

d0
c

k +Kp(s)Hi
cl(s)u

d0
f

ydpq (s) =
Kp(s)H

i
cl(s)i

q0
c

k +Kp(s)Hi
cl(s)u

d0
f

ydpdc (s) =
kKp(s)RdcH

i
cl(s)

k +Kp(s)Hi
cl(s)u

d0
f

.

where (dp) is used to differentiate between the droop and
constant DC voltage combination strategies. For a con-
stant active power controlled converter ydpdc (s) term in (33)
cancels out. Thus, DC voltage disturbances do not influ-
ence the converter AC currents as long as active power
measurements are from the AC side. In a similar man-
ner as previously, to close the DC voltage loop, a similar
procedure as Section 2.2 can be followed to obtain

∆Vi = Hdp
dd (s)∆udf +Hdp

qq (s)∆uqf + zdpoci∆Ii (34)

Hdp
dd (s) =

ud0
f y

dp
d (s) + id0

c

skCiV 0
i + ud0

f y
dp
dc + kI0

dci

Hdp
qq (s) =

iq0 − ud0
f y

dp
q (s)

skCiV 0
i + ud0

f y
dp
dc + kI0

dci

zdpoci =
kV 0

i

k(sCiV 0
i + I0

dci) + ud0
f y

dp
dc

where the terms have similar meaning as in Section 2.2.
To include the impact of closed-loop DC voltage con-

trol on the inner-loop, similar procedures from Section 2.2
can be followed by substituting (34) into (33) to obtain
compactly

∆idc = Y dpdd (s)∆ufd − Y dpdq (s)∆ufq −Hdp
dci(s)∆Ii (35)

Y dpdd (s) = ydpd (s)− ydpdc (s)Hdp
dd

Y dpdq (s) = ydpq (s) + ydpdc (s)Hdp
qq (s)

Hdp
dci(s) = ydpdc (s)zdpoci(s)

Figure 5: Schematic diagram of frequency dependent Π cable circuit

and including the AC voltage controller to obtain

∆iqc = −Yqd(s)∆udf + Yqq(s)∆u
q
f . (36)

Combining (34), (35), and (36) a similar matrix as in (27)
can be obtained with the ‘dp’ terms replacing the constant
DC voltage counterpart. In both cases described in this
section, if the impact of filter capacitor is required, the ad-
mittance equivalent of the capacitor can be directly added
to equivalent AC feedback admittance matrix Y(s) since
they are in parallel.

2.4. DC Cable Modelling

The DC cable is one of the most important subsystems
of the DC grid. Particularly, any interaction between con-
verters or active devices within the network is facilitated
by the network composed of cables and/or lines. Thus,
the level of detail conveys how much dynamics are repre-
sented. Quite a number of different models of DC cables
have been developed and employed in literature. However,
the most commonly used model for small-signal analysis
is the Π model with either lumped or distributed param-
eters, or distributed frequency dependent parameters. In
this section, the main aim is to show how to obtain the fre-
quency domain input-output representation of a cable as a
compact subsystem. In this paper, a frequency-dependent
single Π section cable with state-space representation ac-
cording to [27] is employed as depicted in Fig. 5. The
state-space to input-output of any order can be obtained
from

∆ẋci = Aci∆xci + Bci∆Vci (37a)

∆Ici = Cci∆xci (37b)

where ∆xci is the state vector of cable/line i in the system,
∆Vci, is the vector of input voltages to the cables/lines
consisting of ∆Vdci and ∆Vdcj , ∆xci is the vector of to-
tal current flowing through the cable/line. Transforming
(37a) into Laplace and substituting for ∆xci in (37b)

∆Ici = Cci(sI−Aci)
−1Bci︸ ︷︷ ︸

Yci(s)

∆Vci. (38)

where Yci(s) is the cable frequency dependent admittance.
However, order reduction is paramount for ease of integra-
tion.
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Figure 6: Interconnection of impedance models for an n terminal DC
grid

3. System-level Aggregation of Impedances

In the preceding section, the frequency domain
impedance representation of all subsystems was formu-
lated without considering any connection to a network.
In this section, the subsystems are interconnected based
on the physical topology of the system, with each active
device represented by its impedance formulation. In the
following sections, the focus is the DC side with the con-
nected AC network assumed reasonably strong. For weak
and very weak grids, interaction with the DC grid must
be considered in detail (through the interaction transfer
functions) as this requires special considerations, hence, a
weak grid study is out of the scope of this paper. For an in-
terconnected n terminal DC network, Fig. 6 illustrates the
interconnection of impedance equivalents of all subsystems
on the DC side as previously modelled. Recognizably, the
entire system is now made up of impedances.

3.1. DC Terminal Equivalent Formulation

From the DC side of the equivalent circuit diagram
of Fig. 4, the linearized closed-loop expression at the
terminal-level of the ith terminal can be generalized from
(19) as [28]

∆Vi = Hv
cl(s)∆V

∗
i + zoc,i(s)∆Ii (39)

where Hv
cl(s) is the closed-loop reference-output transfer

function, V ∗
i is the reference voltage assumed constant.

Equation (39) can be directly compared to the closed-loop
response of a linear system expressed as [29]

y = T (s)r + S(s)Gd(s)d (40)

where r is the reference, y is the output, T (s) is the closed-
loop reference-output transfer function, S(s) is the closed-
loop disturbance to output transfer function, Gd(s) is the
disturbance model, and d is the disturbance. Extending
(39) to the entire subsystems of an n terminal grid, the
terminal formulation can be expressed in compact form as

∆V = Hv
cl(s)∆V∗ + Zoc(s)∆I (41)

Table 1: Control Data

Parameter Value Units
Kc(s) 28 + 161.3/s kV/kA
Kv(s) 0.0166 + 3.272/s kA/kV
Kp(s) 1.356 + 6.39/s kV−1

Ku(s) 2× 10−3 + 0.2/s kA/kV
Rdc(s) 2.5 MW/kV

where V and V∗ are the vectors of linearized nodal volt-
ages and references respectively, Hv

cl(s) is a diagonal trans-
fer matrix of reference to output transfer functions of each
control mode, ∆I is the vector of bus current changes dur-
ing disturbances, and Zoc(s) is a diagonal transfer matrix
of input-output impedance transfer functions.

Second order tuned control systems data with outer-
loops tuned to be 15 times slower than inner-loops [25]
and inner-loop tuned based on the recommendation in
[30], is presented in Table 1. Fig. 7 depicts the frequency
response comparison plot of the DC impedance for the
derived control modes showing how the shape of termi-
nal impedance will change for each choice of control mode
(relative to varying the droop gain). The lower the gain,
the closer the response to constant power and the higher
the gain, the closer the response to constant DC voltage.
It can be observed that terminal impedances only differ
in the low frequency region. Particularly, any form of
power control leaves a steady-state impedance compared
to a voltage control whose impedance vanishes in steady-
state. The shown impedances solely dictate the voltage
responses without any network or other devices.

Considering that the terminal equivalent impedance
model of the DC side zoc,i as derived in (19) depends on
the cosine of the PLL angle at an operating point relative
to the PLL bandwidth, Fig. 8 shows the impacts of vary-
ing bandwidth of PLL control between 1− 100 Hz on the
terminal impedance of a DC voltage controlled converter.
Clearly, the impact of PLL on the DC impedance is negligi-
ble for all intent and purposes. This is due to the strength
of grid and decoupling of the AC and DC sides as subsys-
tems, however the off-diagonal elements as derived in (27)
will predict how the AC and DC sides interact especially
under weak AC grids where the PLL impacts most. In the
following section, it would be seen how these impedances
are reshaped after interconnection with the DC network
and other subsystems.

3.2. Reformulation of the Overall System

In order to account for the impact of network and in-
terconnection of several subsystems, a modified linearized
voltage equation at terminal i that accounts for the contri-
bution from other devices and the network as illustrated
in Fig. 6 can be generalized as

∆Vdci = ∆Vi + ∆Vnet,i (42)
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where ∆Vdci is the total voltage measured at terminal i
during disturbances considering the entire system, ∆Vi is
the local response to disturbance without a network as
derived in (39), and ∆Vnet,i is the total contribution from
the rest of the network and other devices as seen from
terminal i. That is,

∆Vnet,i 6= ∆Vnet,j (43)

except in the case of a ring topology with equal cable or
line lengths. If there are no other devices, network, or
the network is neglected, or only resistive behaviour is in-
cluded, ∆Vnet,i = 0 or has no frequency components, and
(42) reverts to (39) at each terminal. For linear systems
where superposition principle applies, ∆Vdci at all ter-

minals can be obtained from the impedance aggregation
based on the well-established Zbus method [31]. There-
fore, the dynamic voltage responses to disturbances at any
interface in an n terminal network across a specified fre-
quency spectrum can be generalized as

∆Vdci
∆Vdcj

...
∆Vdcn


︸ ︷︷ ︸

∆Vdc

=


zclii (s) zclij(s) · · · zclin(s)
zclji(s) zcljj(s) · · · zcljn(s)

...
...

. . .
...

zclni(s) zclnj(s) · · · zclnn(s)


︸ ︷︷ ︸

Zcl
dc(s)


∆Ii
∆Ij

...
∆In


︸ ︷︷ ︸

∆I

(44)
where ∆Vdc is the vector of bus voltage changes during
disturbances, ∆I is the vector of bus current changes, and
Zcldc(s) is herein referred to as the ‘dynamic closed-loop
impedance matrix’ of the DC grid. Hence, during dynam-
ics, the frequency components of the matrix are the fre-
quency components of responses during disturbances. The
matrix models the disturbance behaviour of a DC grid as
a single entity, irrespective of internal device characteris-
tics, from an input-output view. The element zclij(s) is the

response of DC voltage at the ith terminal to disturbances
at jth terminal in the absence of any other disturbance.
Zcldc(s) is a transfer function matrix of structure

Zcldc(s) =
1

Z(s)


aii(s) aij(s) · · · ain(s)
aji(s) ajj(s) · · · ajn(s)

...
...

. . .
...

ani(s) anj(s) · · · ann(s)

 (45)

aij(s) = aij,ms
m + · · ·+ aij,1s+ aij,0

Z(s) = zns
n + zn−1s

n−1 + · · ·+ z1s+ z0

}
∀{i, j} ∈ n

where aij(s) is the numerator of the transfer function of
each element and Z(s) is the denominator common to all
elements. To determine the exact contribution of other
devices and the network from a physical perspective as
viewed from a particular terminal, equation (44) can be
split according to (42) as would be seen in the following
section. Such splitting might be interesting when there
is need to improve interoperability of converters at a net-
work level or design coordinated damping schemes based
on ∆Vnet,i that should not interact with local control based
on ∆Vi.

3.3. Impedance-Based Stability and Interaction Analysis

3.3.1. Interaction Analysis

On first observation of the Zcldc(s) transfer matrix, it is
not obvious how system-level interactions can be deduced.
It would be seen in the following section that the frequency
response of Zcldc(s) mainly serves to isolate frequencies of
interest at which certain terminals might be potentially
interacting, but not others. A major consideration in this
article is system-level interaction analysis without explicit
knowledge of the control systems of converters. There-
fore, since Zcldc(s) models the disturbance behaviour of the

8



Figure 9: Subsystem partition for impedance-based Nyquist stability
criterion

entire grid as a single entity, the frequency dependent rel-
ative gain array (RGA) can be applied as an interaction
measure to determine the terminals interacting at iden-
tified resonance frequencies. The RGA is an established
tool for multi-input multi-output (MIMO) analysis since
first introduction in [32]. The RGA matrix of Zcldc(s) can
be obtained as

Λ(s) = Zcldc(s)⊗
(
Zcldc(s)

)−T
(46)

where ⊗ is the Hadamard product (element-wise mul-
tiplication) and Λ(s) is evaluated either at frequencies
of interest or across a frequency range of interest. For
an interaction-free system, Λ(s) approaches the identity
matrix I; that is, diagonal-elements approach 1 and off-
diagonal elements approach 0. Whereas, at certain in-
teraction frequencies, corresponding elements show RGA
magnitude peaks higher than 1, while magnitudes � 1 in-
dicate terminals are strongly interacting at that frequency
or range of frequencies.

3.3.2. Stability Formulation

The generalized Nyquist stability criterion is well ap-
plied in linear multivariable systems theory to the system
return-ratio matrix [33]. This criterion has been extended
to the impedance modelling framework and widely applied.
In the case of impedance framework, the return-ratio func-
tion is often referred to as the impedance ratio given the
system has been partitioned into two — a specific con-
verter and the “rest of the network” as seen by that con-
verter. Then, the input-output stability of a converter
with respect to the rest of the system can be determined
from the impedance ratio function at that converter. It is
important to remark that this is an alternative to the clas-
sical eigenvalue stability index and is often used to check
the external input-output stability [34]. Previous works
have applied the criterion to analysis of stability on the
AC side, and often to only one point of interconnection,
or specific to HVDC links.

For an n terminal HVDC grid, the system impedance
ratio matrix is a diagonal matrix consisting of (n − m)
non-zero elements, where m is the number of uncontrolled
terminals (with respect to the DC voltage). The system
impedance ratio matrix for an n terminal DC grid can
be extended from a two terminal network. Consider a
two terminal network, adapted from Fig. 6 (i, j). The

Figure 10: Block diagram of impedance-based Nyquist stability cri-
terion

two terminal network can be partitioned from the view of
terminal i by considering the potential bus current changes
as a current source in parallel with the impedance of the
rest of the system znet,i(s) = zij(s) + zoc,j(s) as seen from
i shown in Fig. 9. If the reference voltage is assumed
constant, the voltage at terminal i can be expressed as

∆Vi = zoc,i(s)∆Ii
1

1 +
zoc,i(s)

znet,i(s)

(47)

the right-most part of (47) is similar to the closed-loop
transfer function of a control system with loop-gain given
as

Li(s) =
zoc,i(s)

znet,i(s)
. (48)

Therefore the Nyquist plot of Li(s) predicts the exter-
nal stability of terminal i with respect to the rest of global
system. That is, the stability of a terminal with respect
to the rest of the system is guaranteed if the Nyquist plot
of Li(s) does not encircle the (−1, j0) point. Fig. 10 de-
picts the feedback interconnection of the closed-loop sys-
tem based on the Nyquist criterion. Note that, znet,i(s)
holds the operating point information about the rest of
system. Equation (48) can be extended to an n terminal
network given the Zoc(s) and Zcldc(s) matrices previously
derived. The loop-gain matrix L(s) of the system can be
derived compactly as

L(s) = Zoc(s) (Zd(s))
−1 − I (49)

where Zd(s) is a diagonal matrix consisting of the elements
on the leading diagonal of Zcldc(s), and I is the identity
matrix.

It is important to remark that the modelling proce-
dures as presented in previous section are linear as related
to small-signal analysis. Therefore, this framework do not
adequately capture transient phenomena. Fig. 11 depicts
the global overview of integration flowchart of a generic
meshed VSC-HVDC grid.

4. Case Studies

This section applies the described modelling method-
ology in previous section to analyse the system-level per-
formance and behaviour (dynamic responses, interaction,
and stability) of a three terminal meshed HVDC grid in
master-slave strategy shown in Fig. 12. VSCs 1 and 2 are
grid side converters, and VSC 3 is an offshore wind farm

9
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Figure 11: Schematic overview Modelling framework for an MTDC

Figure 12: Three terminal VSC-HVDC grid

converter. The initial operating points are obtained from
an AC/DC optimal power flow algorithm and nonlinear
models in steady state, with system parameters presented
in Table 2.

4.1. Impedance Shaping and Impacts of Interconnection

Following the preceding section, the Zcldc(s) matrix of
the described three terminal network can be derived as

Zcldc(s) =
(
Ycl
dc(s)

)−1
=

zcl11(s) zcl12(s zcl13(s)
zcl21(s) zcl22(s) zcl23(s)
zcl31(s) zcl32(s) zcl33(s)

 (50)

Table 2: AC-DC Grid Parameters

DC Grid Parameters
Parameter Value

Rated power 800 MW
Rated DC voltage ±400 kV

Ci 150µF
Lcab 2.6 mH/km
Ccab 0.1908µF/km
Rcab 0.0141Ω/km

Cable length (12,13,23) 70, 150, 100 km

AC Grid Parameters
Parameter Value

Nominal ac voltage 220 kV (p-p)
SCR 9
Lf 42 mH
Cf 10 µF
Rf 0.242Ω

Ideally, to guarantee robust performance and external
stability, it is desired that Zcldc(s) is as low as possible in
magnitude, with negligible frequency components, and ide-
ally cancels out in steady-state. However, under changing
conditions such as control modes, connection and discon-
nection of components, power level and direction, reso-
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Figure 14: Frequency dependent RGA interaction plots for master-
slave strategy

nance frequencies for disturbances are constantly shifting
and the methodology described is key to understanding
the new behaviour for which controller parameters could
be adapted based on a global view.

Fig. 13 shows the analytical and numerical verification
of the single-input single-output (SISO) response of the
distinct elements of the closed-loop impedance matrix at
the nominal operating point and in master-slave control
mode at system-level. As can be observed, both responses
agree and deviation between both is due to sampling in-
duced delay, and high frequency noise spectrum adopted
for numerical estimation.

In comparison to the impedance responses in Fig. 7,
it is evident how the impedances have been reshaped and
new frequencies of resonances introduced to account for
the interconnection of multiple converters. Particularly, at
all terminals, a dominant resonance occurs around 12 Hz
due to the equivalent capacitance of the entire DC grid.
Additionally, VSC-1 (zcl11(s)) shows two added resonant
points at 39.1 and 49.5 Hz of almost equal magnitudes, and

VSC-2 (zcl22(s)) shows two added resonant points around
39.7 Hz and 49.5 Hz, whereas VSC-3 (zcl33(s)) has an ad-
ditional resonant point at 39.7 Hz. It must be noted that
the 49.5 Hz resonant frequency is not related to the AC
frequency and is a result of network interaction within the
DC grid.

To summarize, it is important to note that each ele-
ment in Fig. 13 only predicts the isolated SISO response
and to a general extent, the overview of resonant frequen-
cies in the system. In an uncoupled system, each frequency
response is the dynamic amplification and contribution to
the overall dynamics as measured at a specific terminal.
For instance, zcl11(s) predicts the behaviour of VSC-1 for
disturbances at and close to that terminal; whereas, zcl12(s)
and zcl13(s) determine the contribution of VSC-2 and 3 to
the disturbance at VSC-1 and vice-versa. However, these
responses do not provide the complete picture of behaviour
of the global system; particularly, the actual magnitudes
of resonances may differ in the system as a single entity.
Hence, SISO responses mainly serves to provide insights by
indicating potential resonant frequencies for which further
interaction analysis based on MIMO behaviour can iden-
tify the relative magnitudes of resonances, which terminals
are interacting at identified frequencies, and the critical
dominant interaction frequencies in the system. That is,
while the SISO depicts all potential resonance frequencies,
it ignores the inherent coupling that exists between termi-
nals. Hence, a MIMO measure that considers the coupling
between terminals is required subsequently.

The RGA as a MIMO measure shows the relative mag-
nitudes of interaction frequencies, and contribution of all
converters to each identified frequency; this indicates how
terminals are interacting. Fig. 14 shows the frequency-
dependent RGA magnitude plot of Zcldc(s) for the master-
slave strategy based on equation (46). It shows clearly all
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Figure 15: Time domain responses corresponding to change in power
injected into the DC grid

resonant frequencies as identified in the SISO response, the
relative magnitudes of frequencies as an indication of dom-
inance in the global system, and the contribution to inter-
actions modes from each terminal in the DC grid. Three
regions can be identified viz. steady-state (f → 0), high
frequency (f → ∞), and interaction range of frequencies.
In steady-state the RGA nearly approaches unity and off-
diagonal residues are the result of expected voltage de-
viation between terminals. In the high frequency region,
the RGA is unity and this indicates an interaction-free
system in that range. In the interaction range, several
peaks can be identified. At the first peak corresponding
to the first resonant frequency at 12 Hz, all terminals are
strongly interacting as shown by the RGA magnitudes.
This is the dominant resonance in the system and sim-
ply damping this mode may be sufficient to mitigate the
impact of interaction. At the significantly less dominant
second peaks at 39.1 Hz (shown in the zoomed inset fig-
ure) VSCs-1,2 are both interacting with VSC-3, whereas
at the third peak around 49.5 Hz VSC-1 and VSC-2 are
interacting. Although these peaks are significantly lower
in dominance, changes in control gain or network topology
may aggravate these and lead to a higher contribution to
interactions. Fig. 15 shows the terminal responses to a
power reference change (into the DC grid) at time 1.5 s
confirming the resonances in frequency domain and show-
ing that the dominant mode as indicated by the RGA is
12 Hz, whereas, other frequencies are fairly well damped.

To further support the analysis previously made and
to show applicability of both the frequency response and
RGA plots in capturing the observed responses from time
domain. Fig. 16 shows the frequency dependent RGA
plot for a case of reduced DC voltage control bandwidth
corresponding to 20 Hz (from the default 40 Hz). As in
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Figure 16: Frequency dependent RGA interaction plots for low gain
DC voltage control corresponding to a 20 Hz bandwidth controller

the previous case, the dominant resonance frequency in
the grid as a single-entity is at 12 Hz with higher magni-
tudes since every terminal in the grid contributes to this
interaction mode as previously discussed. Furthermore,
due to changes to the DC voltage bandwidth, the third
resonant point that was damped in the previous case has
been excited by the reduction in gain and the interaction
between VSC-1 and 2 is visible, whereas the second reso-
nant frequency remains damped. Therefore, in addition to
oscillations at 12 Hz at all terminals, oscillations around
49.5 Hz are also expected to be dominant at VSCs 1 and
2 as shown by the RGA plot. To ascertain the stability of
this case, Fig. 17 shows the Nyquist plot of the impedance
ratio at the voltage control terminal. Although the system
is stable from a strict sense, as can be observed from the
plot, the system is only marginally stable as the Nyquist
plot is quite close to the (−1, j0) stability margin.

To validate the the analysis and discussion from above,
Fig. 18 shows the voltages in the DC grid. As predicted by
the RGA and Nyquist plots, the resonance oscillation at
12 Hz involving all three terminals can be clearly observed.
Additionally, it was predicted that oscillations at VSCs 1
and 2 will include a second dominant frequency at 49.5 Hz
which can be observed with higher magnitude. Further-
more, the Nyquist plot accurately predicted a marginally
stable system and a different operating point may well re-
sult to instability. Fig. 19 shows the Nyquist stability plot
for a case of reduced bandwidth voltage control and a dif-
ferent operating point. As can be observed, the Nyquist
plot encircled the (−1, j0) stability margin predicting in-
stability in the the system. To verify this prediction, Fig.
20 shows clearly the instability recorded in the time do-
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Figure 17: Marginally stable Nyquist plot for the impedance ratio in
the master-slave mode for poorly damped interaction mode
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Figure 18: Time domain responses corresponding step change with
low gain master controller

main response of the system. For such a case, the max-
imum power that can be transferred within the DC grid
will be limited to a fraction of the rated power despite
independent local stability of each converter being guar-
anteed.
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Figure 19: Unstable Nyquist plot for the impedance ratio in the
master-slave mode for low gain control at a different operating point
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Figure 20: Time domain responses corresponding step change with
unstable case

4.2. Impact of Control on Dynamic Response

Fig. 21 shows the impact of variation of the bandwidth
of master terminal (DC voltage controlled) on the SISO
impedance response. It is immediately clear the effects
of bandwidth variation at one terminal on all terminals
and transfer impedances in the system. This underscores
the need for collective tuning or re-design of controllers for
optimal performance. In general, it can be seen that as the
bandwidth is increased, the resonances gradually damp out
at all terminals. However, as observed in the response of
zcl11(s), as bandwidth increase significantly, high frequency
resonance around 100 Hz develops. This is the point at
which the bandwidth of the outer control loop is closer to
that of the inner-loop results, and self-interaction occurs
that transfers to the AC grid and a further increase in
the bandwidth will cause instability. Thus, a compromise
on potential self-interaction, AC network interaction, and
DC network damping is a requirement in improving global
responses. However, local control may not be sufficient
to damp interaction modes and supplementary controllers
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Figure 21: Impact of bandwidth variation of DC Voltage controller
at VSC-1

Figure 22: Simulation results corresponding to change in power in-
jected into the DC grid for variation in bandwidth of DC voltage
controller

may be required.
Figs. 22 shows the impact of DC voltage bandwidth on

the overall system dynamic responses as measured by the
DC voltages showing the damped oscillations with increase

Figure 23: Simulation results corresponding to change in power in-
jected into the DC grid for different PLL closed-loop bandwidths
ranging from 1 − 100 Hz

in control bandwidth. To summarize, it can be seen that in
general, low bandwidth control result to poor performance
in master-slave control mode and on the other hand, too
high bandwidth can result to interaction with the inner-
loop of the voltage controlled terminal, however, this self-
interaction do not transfer to other terminals but rather
the recipient AC grid.

4.3. Impact of PLL Angle on Dynamic Response

From previous analysis on the impacts of PLL output
angle on the terminal feedback impedance, Fig. 23 shows
the impacts of the cosine of PLL output angle for varying
PLL closed-loop bandwidths (1− 100 Hz) on the DC ter-
minal voltages. In a similar manner as the terminal equiv-
alent, there is no considerable impact of the PLL; however,
this is the result of the strength of the AC grid. There-
fore, for a fairly strong to strong AC grid (SCR > 3), the
impacts of PLL on the DC grid can be neglected. Fig. 24
shows a plot of PLL output angle obtained from nonlinear
time domain simulation against the closed-loop bandwidth
frequency of the PLL. It shows that for a strong AC grid,
the impacts of PLL closed-loop bandwidth is quite negli-
gible, even for the slowest PLL bandwidth, the cosine of
output angle which directly affects the feedback impedance
is ≈ 1.

5. Conclusion

A methodology for VSC impedance derivation and
modular extension of derivations to an arbitrary num-
ber of interconnected VSCs in any network topology has
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Figure 24: Impacts of PLL closed-loop bandwidths on PLL output
angle for the interconnected HVDC grid

been presented. In summary, the equivalent feedback
impedance model of a VSC on each AC and DC sides based
on each control strategy, including the impact of PLL was
obtained, while isolating the interaction transfer functions
between both sides. Subsequently, the impedance mod-
els of all components are interconnected in the external
topology of the system and aggregation and validation of
global impedance equivalents is carried out. Based on the
aggregation, SISO and MIMO frequency domain meth-
ods are proposed to analyse the impact of interconnection
of several converters across a network with a pre-defined
network-level control strategy. Specifically, system-level
input-output interaction detection and stability analysis is
carried out, showing the impacts of interconnection, con-
trol bandwidth, and PLL. Thereafter, the frequency do-
main analysis is validated with nonlinear time domain sim-
ulations, showing accurately the same frequency responses,
with any differences justified. In conclusion, it has been
demonstrated and validated the simple scalability of the
methodology proposed and applied, with potential appli-
cability to supplementary control design, and interoper-
ability analysis of independently designed converters.

AppendixA. PLL Transformations and Park’s

The adopted form of Park’s transformation is given as
[35]

T(θp) =
2

3

cos(θp) cos(θp − 2π
3 ) cos(θp + 2π

3 )
sin(θp) sin(θp − 2π

3 ) sin(θp + 2π
3 )

1
2

1
2

1
2


(A.1)

where θp is the PLL output angle. Subsequently, the lin-
earized transformation matrices can be derived as

Tdqc =

(
cos(θ0

p) sin(θ0
p) −ud0

f sin(θ0
p) + uq0f cos(θ0

p)

− sin(θ0
p) cos(θ0

p) −ud0
f cos(θ0

p)− u
q0
f sin(θ0

p)

)

Tdqc =

(
cos(θ0

p) sin(θ0
p) −id0

c sin(θ0
p) + iq0c cos(θ0

p)
− sin(θ0

p) cos(θ0
p) −id0

c cos(θ0
p)− iq0c sin(θ0

p)

)
Tdq =

(
cos(θ0

p) − sin(θ0
p) −ud0

c sin(θ0
p)− uq0c cos(θ0

p)
sin(θ0

p) cos(θ0
p) ud0

c cos(θ0
p)− uq0c sin(θ0

p)

)
(A.2)

AppendixB. Inner-loop Transfer Functions

ydd(s) = yac(s)


Hdθ(s)

(
a1 + a3 −Kc(s)i

q0
c − F (s)uq0f

)
+ (1− F (s))

1 +Kc(s)yac(s)


(B.1)

ydq(s) = yac(s)Hqθ(s)

(
a1 + a3 −Kc(s)i

q0
c − F (s)uq0f

)
1 +Kc(s)yac(s)

(B.2)

yqd(s) = yac(s)Hdθ(s)

(
a2 − a4 +Kc(s)i

d0
c + F (s)ud0

f

)
1 +Kc(s)yac(s)

(B.3)

yqq(s) = yac(s)


Hqθ(s)

(
a2 − a4 +Kc(s)i

d0
c + F (s)ud0

f

)
+ (1− F (s))

1 +Kc(s)yac(s)


(B.4)

a1 = uq0c cos(θ0
p) a2 = uq0c sin(θ0

p)

a3 = ud0
c sin(θ0

p) a4 = ud0
c cos(θ0

p)

Hi
cl(s) =


Kc(s)yac(s) cos(θ0

p)

1 +Kc(s)yac(s)
0

0
Kc(s)yac(s) cos(θ0

p)

1 +Kc(s)yac(s)


(B.5)
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O. Gomis-Bellmunt, Impedance modelling and parametric sen-
sitivity of a vsc-hvdc system: New insights on resonances and
interactions, Energies 11 (4) (2018) 845.

[25] E. Sánchez-Sánchez, E. Prieto-Araujo, A. Junyent-Ferr,
O. Gomis-Bellmunt, Analysis of mmc energy-based control
structures for vsc-hvdc links, IEEE Journal of Emerging and
Selected Topics in Power Electronics 6 (3) (2018) 1065–1076.
doi:10.1109/JESTPE.2018.2803136.

[26] G. Stamatiou, M. Beza, M. Bongiorno, L. Harnefors, Analyt-
ical derivation of the dc-side input admittance of the direct-
voltage controlled modular multilevel converter, IET Gener-
ation, Transmission Distribution 11 (16) (2017) 4018–4030.
doi:10.1049/iet-gtd.2017.0278.

[27] J. Beerten, S. D’Arco, J. A. Suul, Cable model order reduc-
tion for hvdc systems interoperability analysis, in: AC and
DC Power Transmission, 11th IET International Conference on,
2015, pp. 1–10. doi:10.1049/cp.2015.0039.

[28] A. J. Agbemuko, J. L. Domnguez-Garca, O. Gomis-Bellmunt,
An integrated approach to understanding the impact of network
resonances and control on dynamic responses in vsc-hvdc net-
works, IFAC-PapersOnLine 51 (28) (2018) 344 – 349, 10th IFAC
Symposium on Control of Power and Energy Systems CPES
2018. doi:https://doi.org/10.1016/j.ifacol.2018.11.726.

[29] S. Skogestad, I. Postlethwaite, Multivariable feedback control:
analysis and design, Vol. 2, Wiley New York, 2007.

[30] L. Harnefors, H. P. Nee, Model-based current control of ac ma-
chines using the internal model control method, IEEE Trans-
actions on Industry Applications 34 (1) (1998) 133–141. doi:

10.1109/28.658735.
[31] J. J. Grainger, W. D. Stevenson Jr., Power system analysis,

McGraw-Hill International Editions, 1994.
[32] E. Bristol, On a new measure of interaction for multivariable

process control, IEEE Transactions on Automatic Control 11 (1)
(1966) 133–134. doi:10.1109/TAC.1966.1098266.

[33] A. G. MacFarlane, I. Postlethwaite, The generalized nyquist sta-
bility criterion and multivariable root loci, International Journal
of Control 25 (1) (1977) 81–127.

[34] Z.-P. Jiang, T. Liu, Small-gain theory for stability and control of
dynamical networks: A survey, Annual Reviews in Control 46
(2018) 58 – 79. doi:https://doi.org/10.1016/j.arcontrol.

2018.09.001.
[35] C.-M. Ong, Dynamic simulation of electric machinery: using

MATLAB/SIMULINK, Vol. 5.

16

http://dx.doi.org/10.1109/TPEL.2004.836615
http://dx.doi.org/10.1109/TPWRS.2012.2190531
http://dx.doi.org/10.1109/TPWRD.2015.2455236
http://dx.doi.org/10.1109/TPWRD.2015.2455236
http://dx.doi.org/10.1109/TPWRD.2015.2467965
http://dx.doi.org/10.1109/TPWRD.2015.2467965
http://dx.doi.org/10.1109/TPWRS.2010.2040846
http://dx.doi.org/10.1109/TPWRS.2010.2040846
http://dx.doi.org/10.1109/TIE.2007.904022
http://dx.doi.org/10.1109/TPEL.2007.900592
http://dx.doi.org/10.1109/TPEL.2007.900592
http://dx.doi.org/10.1109/TPEL.2011.2136439
http://dx.doi.org/10.1109/TPEL.2015.2398192
http://dx.doi.org/10.1109/JESTPE.2016.2620378
http://dx.doi.org/10.1109/JESTPE.2016.2620378
http://dx.doi.org/10.1109/TPEL.2013.2262473
http://dx.doi.org/10.1109/TPEL.2013.2262473
http://dx.doi.org/10.1109/TIE.2014.2334665
http://dx.doi.org/10.1109/TPEL.2017.2684906
http://dx.doi.org/10.1109/TPEL.2017.2684906
http://dx.doi.org/https://doi.org/10.1016/j.epsr.2017.08.025
http://dx.doi.org/https://doi.org/10.1016/j.epsr.2017.08.025
http://dx.doi.org/10.1109/TPWRD.2013.2272382
http://dx.doi.org/10.1109/TPEL.2016.2608278
http://dx.doi.org/10.1109/TEC.2017.2698202
http://dx.doi.org/10.1109/PESGM.2016.7742009
http://dx.doi.org/10.1109/TPWRD.2014.2367123
http://dx.doi.org/10.1109/TPWRD.2014.2367123
http://dx.doi.org/10.1109/JESTPE.2018.2803136
http://dx.doi.org/10.1049/iet-gtd.2017.0278
http://dx.doi.org/10.1049/cp.2015.0039
http://dx.doi.org/https://doi.org/10.1016/j.ifacol.2018.11.726
http://dx.doi.org/10.1109/28.658735
http://dx.doi.org/10.1109/28.658735
http://dx.doi.org/10.1109/TAC.1966.1098266
http://dx.doi.org/https://doi.org/10.1016/j.arcontrol.2018.09.001
http://dx.doi.org/https://doi.org/10.1016/j.arcontrol.2018.09.001

	1 Introduction
	2 Input-Output dq-Impedance Modelling of Subsystems
	2.1 dq-Modelling of current controlled converter
	2.2 Constant AC and DC Voltage Controlled VSC
	2.3 AC Voltage and DC Droop/Active Power Controlled VSC
	2.4 DC Cable Modelling

	3 System-level Aggregation of Impedances
	3.1 DC Terminal Equivalent Formulation
	3.2 Reformulation of the Overall System
	3.3 Impedance-Based Stability and Interaction Analysis
	3.3.1 Interaction Analysis
	3.3.2 Stability Formulation


	4 Case Studies
	4.1 Impedance Shaping and Impacts of Interconnection
	4.2 Impact of Control on Dynamic Response
	4.3 Impact of PLL Angle on Dynamic Response

	5 Conclusion
	AppendixA PLL Transformations and Park's 
	AppendixB Inner-loop Transfer Functions

